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Overcoming fundamental limitations of wind turbine
individual blade pitch control with inflow sensors
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1Department of Automatic Control and Systems Engineering, The University of Sheffield, Sheffield, S1 3JD, UK.
ABSTRACT
Individual pitch control (IPC) provides an important means of attenuating harmful fatigue and extreme loads upon the
load bearing structures of a wind turbine. Conventional IPC architectures determine the additional pitch demand signals
required for load mitigation in response to measurements of the flap-wise blade-root bending moments. However, the
performance of such architectures is fundamentally limited by bandwidth constraints imposed by the blade dynamics.
Seeking to overcome this problem, we present a simple solution based upon a local blade inflow measurement on each
blade. Importantly, this extra measurement enables the implementation of an additional cascaded feedback controller that
overcomes the existing IPC performance limitation and hence yields significantly improved load reductions. Numerical
demonstration upon a high-fidelity and nonlinear wind turbine model reveals (i) 60% reduction in the amplitude of the
dominant 1P fatigue loads, and (ii) 59% reduction in the amplitude of extreme wind shear induced blade loads, compared to
a conventional IPC controller with the same robust stability margin. This paper therefore represents a significant alternative
to wind turbine IPC load mitigation as compared to LiDAR-based feedforward control approaches. Copyright c© 2013 John
Wiley & Sons, Ltd.
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1. INTRODUCTION
The worldwide growth of offshore wind farms places increasing importance on reliable operation to minimise the need
for costly maintenance and repair activity. Technologies that can reduce such activity are thus of significant importance.
Principal amongst these is the use of individual pitch control (IPC) [1, 2, 3] as a means of mitigating the harmful loads
that arise from spatially uneven and temporally unsteady winds, primarily in above rated conditions. Conventional IPCs
actuate the motors at the roots of each blade to individually adjust the blade pitch angles, in response to measurements of
the flap-wise blade root bending moments. Such pitch angle adjustments are in addition to those set by the collective pitch
controller (CPC), whose primary objective is to maintain the rated rotor speed.
Numerous IPC studies have been conducted in recent years, employing various architectures (e.g. individual blade
pitch control [4], Coleman Transform-based IPC [5]) and different controller design methodologies (e.g. PI [6], LQR [7],
LQG [8], predictive repetitive [9], H∞ loop-shaping [10]). Successful experimental demonstrations have also been
performed [11]. These studies have all shown significant reductions in blade fatigue loads, particularly with respect to
the dominant once-per-revolution (1P) loads [2]. Upon the non-rotating turbine structures, the main fatigue loads occur
at 3P frequencies, corresponding to 2P and 4P loads in the rotating frame of reference [10]. These are more challenging
to attenuate given the necessity for higher controller bandwidth, which is difficult to achieve with conventional IPC. The
use of flap-wise root bending moment sensors gives rise to significant measurement lag, since disturbance loads are only
detected once the blade has undergone distortion. Once this load is detected, the entire blade must then be rotated to
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mitigate the disturbance, by which time it may no longer be present. This has motivated a large body of research into
improved load mitigation, which can broadly be divided into the following areas:
1.1. Improved controller design
As mentioned above, numerous studies have considered the controller design aspects of IPC, both from methodological
and architectural perspectives. In terms of the former, since feedback controller design is heavily dictated by the plant
dynamics and control objectives, any well designed IPC should perform well irrespective of the particular methodology
employed. From an architectural perspective, IPC design in recent years has split into two branches characterised by the
targeted loads. The first branch targets loads upon the non-rotating turbine structures and employs the Coleman Transform
to project signals from the rotating frame of reference, to the fixed (e.g. [4, 6, 12, 13, 14, 10]). The second branch
targets load reductions upon the rotating blades and is commonly referred to as single-blade or individual-blade control
(e.g. [15, 16]), whereby each blade is equipped with its own controller. Importantly, the issue of which architecture leads
to the best performance in terms of load reductions was recently resolved in [17], where it was shown that IPC controllers
can be designed using either architecture to give exactly the same performance. Hence, there is little scope to improve
conventional IPC performance from a purely feedback control design perspective. Augmentation of conventional IPC with
additional feedforward/feeback control can improve performance, but these strategies typically rely upon the provision of
extra information from additional sensors, which will be discussed in further detail below.
1.2. Improved blade design
With little additional benefit to be leveraged from the IPC controller, the only option is to redesign the physical
hardware, consisting of actuators, blades and sensors. As will be explained in Section 2, the bandwidth limitation of
conventional IPCs is imposed by the blade dynamics, and so advances in materials and blade design offer potential
performance improvements. One particularly promising concept is that of aeroelastically tailored composite blades [18],
wherein the lay-up and thicknesses of the composite layers is tailored to enable blade-twist coupling [19] that induces
twisting in response to flap-wise bending. In such case, the blade functions as a passive closed-loop system, passively
deforming in response to wind disturbances so as to mitigate undesirable loads. To what extent this can mitigate loads
across a range of operating conditions, whilst simultaneously maintaining aerodynamic performance, remains to be seen.
Additionally, issues relating to repeatability of manufacture will likely lead to dynamic variation between blades, and so we
speculate that aeroelastic tailoring will compliment, rather than replace IPC, by reducing the burden on the pitch actuator.
1.3. Improved actuation
There has been considerable recent research activity in the use of distributed actuators upon wind turbines blades, leading
to the the concept of the so-called ‘smart rotor’ [20]. Such actuators are designed to provide localised control of the
aerodynamic forces, and are capable of faster actuation than blade-pitch control owing to their smaller size and inertia.
Devices under study have included trailing edge flaps [13, 21], microtabs [22], plasma actuators [23] and synthetic-jet
actuators [24]. In [14], a smart rotor consisting of distributed trailing edge flaps was augmented to an existing IPC to
investigate the additional benefits. For a given performance with respect to load reductions, the augmented smart rotor
placed lower demands upon the pitch actuator in terms of travel, rates and power requirements. However, the authors
concluded these benefits alone made it difficult to justify the added design complexities of a smart rotor, as opposed to
upgrading the pitch actuator and bearing.
1.4. Improved sensing
The use of different sensors can enable earlier/faster detection of blade loads than is possible with blade-root bending
moment sensors, offering a potential means of improved IPC performance. Faster detection enables design of feedback
loops with higher bandwidth owing to a reduction in sensor lag, whilst earlier detection affords the design of feedforward
controllers that can initiate mitigating pitch actuation in advance. A review of load monitoring sensors for active control
of wind turbines appears in [25]. Of particular interest to this study are the use of local aerodynamic sensors, such as
pitot-static tubes.
Pitot-static tubes can provide measurements of the local angle of attack and relative wind speed. Such measurements
may be introduced into IPC schemes in various ways [26]. For example, using measurements taken at three-quarters of the
rotor radius, an angle-of-attack feedback controller was combined with a relative velocity-based feedforward controller to
yield an IPC that reduced 20 year fatigue loads by 25% over a traditional CPC [26]. In a further study [27], local inflow
measurements were used to determine the blade-root moments from the free-stream velocity. This enabled the design of
an IPC controller with a feedforward component from inferred future loads, leading to significant reduction in magnitudes
of the tilt and yaw moments. As with any sensor technology, there are issues of reliability concerning the use of pitot-static
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Figure 1. Single blade IPC system diagram, consisting of blade G and IPC controller KIPC. All terms are defined in Section 2.
tubes (e.g. blockage), but experimental campaigns [28] have demonstrated the ability of these sensors to detect inflow
disturbances of importance in the design IPCs.
Despite the promise of the use of inflow blade measurements, the number of studies exploring this technology has
become heavily outnumbered in recent years in favour of remote inflow sensors, such as LiDAR (e.g. [29, 30, 31], [32] and
references therein). According to [33] LiDAR sensors are regarded as suitable for mean wind speed assessment, but suffer
from some issues that hinder the measurement of gusts (and hence the development of IPC controllers). Amongst these is
the difficulty of disambiguating wind speeds and directions [34] and the fact that LiDAR assisted control is feedforward,
meaning that performance is sensitive to the accuracy of the inflow model linking upstream flow measurements to future
blade loads. Accurate models are described by the atmospheric boundary layer equations [35], but such models are too
complex for real-time control purposes and so any LiDAR-based feedforward control scheme will require simplifying
assumptions concerning the flow. Hence, the validity of any simulation-based study of LiDAR-based feedforward control
must be assessed against the physical accuracy of the associated wind-field models. In terms of experimental studies
of LiDAR assisted control, most have focussed on improving rotor speed regulation via improved CPC design, rather than
the more complex IPC problem. Of the few studies that have compared IPC performance using local inflow and blade
measurements versus LiDAR, it was shown in [36] that poorer 1P load rejection was achieved from LiDAR-based cyclic
pitch schemes under conditions of turbulent inflow, for reasons relating to the accuracy of the model employed in the
feedforward controller.
Motivated by the problems associated with LiDAR-assisted control, the aim of this paper is to show that the performance
of conventional IPC can be significantly improved in a far less complex fashion. The contributions of this paper are
twofold;
• Firstly, to explain a fundamental limitation of traditional IPC schemes from a control-theoretic perspective.
• Secondly, to demonstrate how this limitation can be overcome with an additional, cascaded feedback controller
based upon a single extra inflow measurement on each blade. In particular, the fashion in which the inflow sensor
is employed is novel, as is the resulting IPC architecture.
The remainder of this paper is organised as follows. In Section 2 we discuss the performance limitations of existing IPC
architectures. In Section 3, we show how this limitation can be overcome via a cascaded control architecture that uses an
extra measurement from a local blade inflow sensor, and show how such a measurement can be obtained from a pitot-static
tube. In Section 4, a cascaded and conventional IPC controller are designed, and their relative performances assessed via
closed-loop simulation. Finally, Section 5 presents the conclusions of this paper.
2. PERFORMANCE LIMITATION OF EXISTING IPC ARCHITECTURES
We begin by considering the single-blade formulation of an IPC controller, shown in Figure 1. The single-blade formulation
is chosen for simplicity, but the results in this paper extend to fixed frame of reference IPCs, owing to the performance
equivalence results established in [17]. The single blade model is represented by a transfer functionG(s) ∈ R, where s is a
complex variable andR is the space of real-rational transfer functions with one input and one output. This transfer function
relates the IPC blade pitch-angle input uIPC to the measurement yM˜ of the perturbation flap-wise bending moments M˜ at
the blade root. The system is perturbed by a lumped wind-induced flap-wise disturbance torque dτ˜ acting upon the blade.
Here, perturbations are defined as the difference between a signal and its time averaged value, for example:
M˜(t) := M(t)− M¯,
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Parameter Value Units Description
τ 0.11 sec Pitch actuator time constant
dM
dθ
∣∣
θ¯
1.50× 106 Nm/deg Variation of blade flap-wise bending moment with respect to pitch angle
ωflap 4.21 rad/s Natural frequency of first blade flap-wise mode
ωedge 6.79 rad/s Natural frequency of first blade edge-wise mode
ζb 0.48 - Blade aerodynamic damping ratio
ωh 19.73 rad/s Bandpass filter high corner frequency
ωl 0.088 rad/s Bandpass filter low corner frequency
Table I. Model parameters of G(s) (1).
where M¯ denotes the mean value. A low-order model of the blade system is as follows:
G(s) := Gf(s)Gb(s)
dM
dθ
∣∣∣∣
θ¯
Ga(s), (1a)
where (dM/dθ)|θ¯ ∈ R is the sensitivity of the flap-wise root bending moment in response to changes in pitch angle,
evaluated at the collective pitch angle θ¯, whilst Ga(s), Gb(s) and Gf(s) are, respectively, the transfer functions that
describe the pitch actuator, blade, and sensor band-pass filter dynamics. These are defined as follows [10, 17]:
Ga(s) :=
1
τs+ 1
, (1b)
Gb(s) :=
(
ω2flap
s2 + 2ζbωflaps+ ω2flap
)(
ω2edge
s2 + 2ζbωedges+ ω2edge
)
, (1c)
Gf(s) :=
ωhs
s2 + (ωh + ωl)s+ ωhωl
. (1d)
The parameters of these transfer functions are listed in Table I, with values representative of the NREL 5MW turbine [37],
linearised around operation in above rated conditions. The actuator time constant is based upon a pitch actuator employed
in a similarly rated commercial offshore turbine [10]. The band-pass filter (1d) is included in the system model to remove
low-frequency drift and high frequency noise from the bending moment measurements, as well as reducing interaction
with the CPC.
The aim of the IPC controllerKIPC(s) ∈ R is to attenuate the effect of the lumped wind-induced disturbance torque dτ˜ ,
particularly at the 1P frequency. The extent to which this is possible is dictated by the dynamics of the blade system.
The bode plot of G(s) is shown in Figure 2, where the 1P frequency ω1 (1.27 rad/s) and natural frequency of the first
flap-wise blade mode ωflap (4.21 rad/s) are marked on the abscissa. Owing to the flap-wise modes, the open-loop phase
is −180◦ at ωflap, and decreases further with increasing frequency as subsequent poles from the edge-wise modes and
actuator are encountered. In accordance with the Bode integral Theorem [38], there is thus a fundamental limitation
on the achievable performance of the IPC controller. Even if a stabilising controller can be designed, the sensitivity to
disturbances will become greatly amplified for any controller that sets the closed-loop bandwidth in excess of ωflap. The
requirement that the closed-loop bandwidth be in the vicinity of ωflap is ensured by the loop transfer function KIPCG(s)
achieving unity gain crossover near this frequency. However, given the close proximity in frequency between ω1 and ωflap,
it is difficult to simultaneously make |KG(s)| large at the former (thereby achieving good 1P disturbance rejection),
and small at the latter, particularly given that good robustness requires the slope of |KG(s)| to not greatly exceed −20
dB/decade at crossover [38]. The situation is even more challenging for disturbance rejection at the higher 2P (2.53
rad/s) and 4P (5.07 rad/s) frequencies, which are known to contribute to the fatigue-inducing 3P loads of the non rotating
turbine components [10]. Hence, the achievable performance of conventional IPC control is limited by the flap-wise blade
dynamics, as opposed to the pitch actuator.
3. CASCADED IPC AND BLADE INFLOW MEASUREMENT
If the blade dynamics impose a performance limitation upon conventional IPCs, then what alternatives exist? From a
pragmatic viewpoint, solutions should avoid costly hardware redesign, whilst employing simple controllers. The former
suggests different/additional sensors, as opposed to new actuation schemes, and this perhaps explains the present research
interest in LiDAR-based control. However, a simpler solution may exist in the form of a blade inflow sensor. Whilst not
capable of providing a preview of an oncoming disturbance, blade inflow measurements at least provide information on the
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Figure 2. Bode plot of G(s), with 1P frequency (ω1) and natural frequency of the first flap-wise blade mode (ωflap) indicated.
disturbance before it has propagated through the blades, thereby not experiencing the additional lag induced by the blade
dynamics. Importantly, such measurements are suitable as the basis for designing new/additional feedback control loops,
hence providing a mechanism to mitigate against the sensitivity to model uncertainty that is the achilles heel of feedforward
methods. Motivated by this, we pose a novel IPC architecture that exploits feedback from blade inflow measurement on
each blade.
3.1. Cascaded IPC architecture and analysis
Consider a blade discretised into n sections, each subjected to an aerodynamic lift force perturbation L˜i in the flap-wise
direction and acting at a radial distance ri from the blade root, where i ∈ {1, . . . , n}. Then the parameter (dM/dθ)|θ¯
in (1a) can be expressed as follows:
dM
dθ
∣∣∣∣
θ¯
=
n∑
i=1
dLi
dθ
∣∣∣∣
θ¯
ri, (2)
where (dLi/dθ)|θ¯ is the sensitivity in the blade element lift force with respect to blade pitch angle, evaluated at the
collective pitch angle. The corresponding change to the system diagram is shown in Figure 3. Dimensional analysis of
the spanwise spatial extent of gusts suggests a similar spatial scale to the rotor radius of multi-MW turbines [34]. We
therefore make the assumption that the disturbance lift forces dL˜k , acting on each blade element are spatially correlated,
and at the very least, the disturbances acting on adjacent blade elements are of similar magnitude. A single sensor capable
of measuring the aerodynamic lift force on a blade section (see Section 3.2) will therefore act as an approximate indicator
of nearby loads. In terms of sensor placement, given that the highest blade loads occur near the tip [2] and are therefore
the largest contributors to bending moment, we assume a (bandpass-filtered) measurement of aerodynamic lift force yL˜k
on the k-th blade element at a radial distance of 0.75R from the hub. Similar reasoning is applied in other control studies
using local inflow measurements [26], or where the lift forces are lumped to a single point load [8].
Crucially, such a measurement enables the design of a cascaded feedback controllerKC, as shown in Figure 3, in which
the cascaded loop does not contain the blade dynamics Gb. Cascade control ([39] and references therein) extends the
benefits of feedback control to localised subsystems. In the present application, the cascaded controller provides a second
degree-of-freedom in terms of rejecting the effect of the aerodynamic disturbances. To see this more clearly consider the
dynamics of the cascaded loop in Figure 3:
τ˜k(s) =
rk
dLk
dθ
∣∣∣
θ¯
Ga(s)
1− dLk
dθ
∣∣∣
θ¯
Ga(s)KC(s)Gf(s)
uIPC(s) +
rk
1− dLk
dθ
∣∣∣
θ¯
Ga(s)KC(s)Gf(s)
dL˜k (s). (3)
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Ga Gb Gf
KIPC
GfKC
dL1
dθ
∣∣
θ¯
dLi
dθ
∣∣∣
θ¯
dLk
dθ
∣∣∣
θ¯
+
+
+
+
r1
ri
rk
+
uθ˜ θ˜
dL˜1
dL˜i
dL˜k
L˜1
L˜i
L˜k
dM
dθ
∣∣
θ¯
τ˜1
τ˜i
τ˜k
M˜ yM˜
yL˜k
uIPC
uC
Figure 3. Single blade cascaded IPC system diagram, assuming a blade inflow measurement on the k-th blade element. This is the
same system as shown in Figure 1, with the exception of the additional cascaded feedback loop.
Hence, the effect of the measured aerodynamic disturbance can be attenuated by making KC large. Since the blade
dynamics (Gb) are not present in (3), the bandwidth limitation associated with this term is removed, making it easier
to achieve the higher loop gains commensurate with improved performance. Indeed, the limitation now arises from the
actuator dynamics, with the maximum pitch rate likely to be the limiting factor. To see the effect the cascaded controller
has upon the remaining blade sections, consider the dynamics of the i-th loop in Figure 3:
τ˜i(s) = ri
(
dL˜i(s) +
dLi
dθ
∣∣∣∣
θ¯
Ga(s)(uIPC(s) + uC(s))
)
, (4a)
where:
uC(s) =
KC(s)Gf(s)
1−KC(s)Gf(s)
dLk
dθ
∣∣∣
θ¯
Ga(s)
dL˜k (s) +
KC(s)Gf(s)
dLk
dθ
∣∣∣
θ¯
Ga(s)
1−KC(s)Gf(s)
dLk
dθ
∣∣∣
θ¯
Ga(s)
uIPC(s). (4b)
Substituting (4b) into (4a) yields:
τ˜i(s) = ri

dL˜i(s) +
dLi
dθ
∣∣∣
θ¯
Ga(s)KC(s)Gf(s)
1−KC(s)Gf(s)
dLk
dθ
∣∣∣
θ¯
Ga(s)
dL˜k (s) +
dLi
dθ
∣∣∣
θ¯
Ga(s)
1−KC(s)Gf(s)
dLk
dθ
∣∣∣
θ¯
Ga(s)
uIPC(s)

 . (4c)
For the frequencies at whichKC is large, the third term in (4c) is negligible, and provided dLi/dθ ≈ dLk/dθ and dL˜i ≈
dL˜k , as assumed for blade elements adjacent to the k-th element where the sensor is located, then the first two terms will
approximately cancel. The degree of cancellation will likely degrade for blade elements nearest the root, but this is of little
concern given the relatively small contribution that such elements make to the overall blade-root bending moment.
The equivalent block diagram is shown in Figure 4, where the cascaded controller not only modifies the
gain (dM/dθ)|
θ¯
, but also influences the loading from each blade element in response to the individual disturbance lift
forces. Note, this cascaded IPC system reduces to the conventional IPC case (Figure 1) whenKC = 0, as is to be expected.
The sensitivity function Sd
L˜k
→y
M˜
from measured disturbance dL˜k to measured flap-wise blade-root bending moment yM˜
is given by:
Sd
L˜k
→y
M˜
=
rkGb(s)Gf(s)
1− dLk
dθ
∣∣∣
θ¯
Ga(s)KC(s)Gf(s)−
dM
dθ
∣∣
θ¯
Ga(s)Gb(s)Gf(s)KIPC(s)
. (5)
This sensitivity function is made small by making KC and/or KIPC large at the frequencies of interest. Given the
advantages of using the cascaded controller to achieve higher loop gain, it would seem that KIPC is rendered obsolete.
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∣
∣
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∣
∣
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Figure 4. Equivalent cascaded IPC system diagram, showing the contribution of the blade section lift disturbances d
L˜i
to the wind
induced flap-wise disturbance torque dτ˜ under the action of KC.
However, this is not the case. Recall from (4c) that attenuating the effect of the unmeasured blade disturbances dL˜i relies
upon the following error terms being made small:
ei(s) := dL˜i(s) +
dLi
dθ
∣∣∣
θ¯
Ga(s)KC(s)Gf(s)
1−KC(s)Gf(s)
dLk
dθ
∣∣∣
θ¯
Ga(s)
dL˜k (s). (6)
This is essentially a feedforward control strategy that relies upon the assumptions outlined beneath (4c). It is possible that
unusual inflow conditions of localised wind-shear may arise that could make this error large, resulting in undesirable blade
loads. However, the additional feedback action from KIPC acts to suppress such loads as can be seen by inspecting the
sensitivity function Sei→yM˜ from disturbance error to measured flap-wise blade-root bending moment:
Sei→yM˜ =
Gf(s)Gb(s)ri
(
1−KC(s)Gf(s)
dLk
dθ
∣∣∣
θ¯
Ga(s)
)
1− dLk
dθ
∣∣∣
θ¯
Ga(s)KC(s)Gf(s)−
dM
dθ
∣∣
θ¯
Ga(s)Gb(s)Gf(s)KIPC(s)
. (7)
Note that increasing KIPC reduces this sensitivity towards zero, whereas increasing KC results in the sensitivity
approaching a nonzero constant. To summarise, the majority of the disturbance rejection is handled by the cascaded
controller, with the IPC controller providing a degree of mitigation against excessive blade loading that may arise from
unusual flow conditions not being detected by a single inflow sensor.
3.2. Determining blade element lift from local inflow measurement
The preceding analysis assumed a measurement of the aerodynamic lift force on a blade section. To our knowledge, no
previous study on the use of local inflow measurements has used this specific signal as the basis for subsequent control,
tending to use angle-of-attack and/or relative velocity information instead (e.g [26, 27]). To see how the lift force can be
determined in practice consider a pitot-static tube mounted on the leading edge of an airfoil section (Figure 5) that provides
direct measurements of the inflow angle of attack α(t) ∈ R and relative windspeed vrel(t) ∈ R. A momentary increase
in the free-stream velocity v∞(t) ∈ R causes an increase in the angle of attack and relative windspeed. The resulting lift
force (relative to the direction of vrel(t)) is given by [2]:
Lrel,k(t) =
1
2
ρv2rel(t)Cl(α)cδr, (8a)
where ρ, c, δr ∈ R denote the density of air, blade chord length and span-wise section length, respectively. The blade
section lift coefficient is given by [2]:
Cl(α) =
dCl
dα
sin (α(t)) ≈
dCl
dα
α, (8b)
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θ(t)
φk
α(t)
rkω1(1 + at)
(1− a)v∞(t)vrel(t)
Lrel,k(t)
Drel,k(t)
Figure 5. Blade element velocities and forces, where a and at are the axial and tangential flow induction factors, respectively [2].
where dCl/dα ∈ R is the airfoil section lift-curve slope (e.g. [37]) and where the approximation is valid for small angles
of attack in the pre-stall region. Similarly, the relative drag is:
Drel,k(t) =
1
2
ρv2rel(t)Cdcδr, (8c)
where Cd ∈ R is the drag coefficient, which for blades of large span is ∼ 0.01 [2]. Assuming the flap-wise direction is
defined normal to the blade zero-twist reference, then the aerodynamic load in the flap-wise direction is as follows:
Lk(t) = Lrel,k(t) cos(φk) +Drel,k(t) sin(φk), (9)
where φk ∈ R is the blade section twist angle. In summary, measurements of angle of attack and relative windspeed,
combined with several known aerodynamic parameters, enables the lift force acting on an airfoil section to be determined.
4. CONTROLLER DESIGN AND SIMULATION RESULTS
This section demonstrates the performance benefits of cascaded IPC over conventional IPC, with the respective
architectures shown in Figures 3 and 1. Specifically, the primary objective of both controllers is to maximise the attenuation
of 1P disturbances for a fixed robust stability margin ǫ(G,K) [40, 10, 17]:
ǫ(G,K) :=


∥∥∥∥∥
[
G
I
]
(I −KG)−1
[
−K I
]
︸ ︷︷ ︸
H(G,K)
∥∥∥∥∥
−1
∞
ifH(G,K) ∈ RH∞
0 otherwise,
(10)
whereRH∞ is the space of proper real-rational transfer function matrices of stable, linear and time-invariant continuous-
time systems with norm ‖·‖∞. The robust stability margin is a generalisation of gain and phase margin, and so acts as
a convenient scalar measure of robust stability and performance. In the interests of fair comparison, the robust stability
margin of both controllers is set to the same value ǫ(G,K) = 0.40.
4.1. Conventional IPC design
The conventional IPC controller takes the form of a proportional gain in series with a 1P inverse notch filter:
KIPC(s) := −kp
(
s2 + 2ζ1ω1s+ ω
2
1
s2 + 2ζ2ω1s+ ω21
)
, (11)
where the parameters are listed in Table II. The Bode plots of the shaped loopGKIPC(jω) are shown in Figure 6, with the
sensitivity function (5) shown in Figure 9. More complex compensators that improve the 1P disturbance rejection for the
same stability margin are of course possible, but for the purposes of this study are not considered.
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Parameter Value Units Description
kp 2.05× 10
−7 deg/Nm Proportional gain
ζ1 0.5 First inverse notch filter damping ratio
ζ2 0.01 Second inverse notch filter damping ratio
ω1 1.27 rad/s 1P frequency
Table II. Parameters of KIPC(s) (11).
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Figure 6. Magnitude and phase plots of the shaped GKIPC (- -) and unshaped G (–) blade systems, using conventional IPC.
Parameter Value Units Description
kp 5.00× 10
−4 deg/Nm Proportional gain
ζ1 1 First inverse notch filter damping ratio
ζ2 0.1 Second inverse notch filter damping ratio
ω1 1.27 rad/s 1P frequency
Table III. Parameters of KC(s).
4.2. Cascaded IPC design
The cascaded IPC design proceeds with the design of the inner loop. Referring to Figure 3, the transfer function of the
unshaped inner loop is as follows:
Ginner(s) :=
dLk
dθ
∣∣∣∣
θ¯
Ga(s)Gf(s). (12)
The cascaded controller KC again takes the form of an inverted notch filter, centred upon the 1P frequency (11), but the
more benign dynamics of the inner loop allow for a broader notch, thus extending disturbance rejection to 2P and 4P
frequencies. The proportional gain kp is chosen to provide an upper unity gain crossover at around the same frequency as
the actuator pole, in order to prevent excessive actuator usage. The parameters of KC are listed in Table III, and the bode
plots of the shaped and unshaped inner loops shown in Figure 7. The robust stability margin of the compensated inner loop
was ǫ(Ginner,KC) = 0.56, exceeding the stated margin of 0.40.
Proceeding to the outer loop, with reference to Figure 4 the design ofKIPC is based upon shaping the outer-loop transfer
function:
Gouter(s) :=
dM
dθ
∣∣
θ¯
Ga(s)Gb(s)Gf(s)
1− dLk
dθ
∣∣∣
θ¯
Ga(s)KC(s)Gf(s)
. (13)
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Figure 7. Magnitude and phase plots of the shaped GinnerKC (- -) and unshaped Ginner (–) inner loop.
Parameter Value Units Description
kp 5.95× 10
−7 deg/Nm Proportional gain
ζ1 0.5 First inverse notch filter damping ratio
ζ2 0.01 Second inverse notch filter damping ratio
ω1 1.27 rad/s 1P frequency
Table IV. Parameters of the IPC controller KIPC(s) used in the cascaded design.
The outer IPC controller KIPC again takes the form of an inverted notch filter, centred upon the 1P frequency (11). The
parameters of this controller are listed in table IV and are chosen to provide additional 1P disturbance rejection, whilst
ensuring ǫ(Gouter,KIPC) = 0.40.
The bode plots of Gouter(jω) and GouterKIPC(jω) are shown in Figure 8, with the sensitivity function (5) shown
in Figure 9. The sensitivity plots of Figure 9 clearly display the improved performance of the cascaded architecture. For
the same robust stability margin, the cascaded design achieves an additional ∼ 10 dB disturbance rejection at the 1P
frequency, in addition to greater disturbance rejection at nearby frequencies, including 2P and 4P.
4.3. Simulation Results
This section investigates the performance of the proposed IPC controllers for attenuating the fatigue and extreme loads on
the turbine blades. Three controllers were considered in this study as follows:
1. the CPC (Baseline),
2. the conventional IPC in Section 4.1 (KIPC),
3. the cascaded IPC in Section 4.2 (KIPC +KC).
The simulation environment employed for this purpose is FAST [41] and the closed-loop simulations were conducted
upon the NREL 5MW turbine [37], with key parameters listed in Table V. This turbine model is of much greater complexity
than the model employed in (1) for controller design. The additional degrees-of-freedom include the first and second modes
of the blade flap-wise and edge-wise modes, in addition to the tower and shaft dynamics. The baseline CPC controller is
unchanged from that described in [37].
4.3.1. Fatigue load reductions
The controller performance with respect to fatigue load reductions was investigated under turbulent wind conditions
generated from TurbSim [42]. The full, three dimensional wind-field was characterised by a mean wind speed of 18ms−1
(chosen since this value is near the centre of the range of wind speeds covering above-rated wind conditions), a turbulence
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Figure 8. Magnitude and phase plots of the shaped GouterKIPC (- -) and unshaped Gouter (–) outer loops of the cascaded system.
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Figure 9. Sensitivity (5) plots of the uncompensated blade system (–), the blade system controlled with conventional IPC (KC = 0,
KIPC (Table II)) (- -), and the blade system controlled with cascaded IPC (KC (Table III), KIPC (Table IV)) (-·). Note the significantly
lower sensitivity achieved by the cascaded controller.
Parameter Value
Rating 5 MW
Rotor Orientation Upwind
Rotor diameter 126 m
Hub height 90 m
Rated rotor speed 12.1 rpm (≈ 1.27 rad/s)
Pitch rate limit ±8◦/s
Table V. Turbine simulation parameters.
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intensity of 14% and a vertical shear power law exponent of 0.2. The simulations were performed for sufficient duration to
obtain convergence in the blade load spectra.
Figures 10a and 10b show the time history and load spectrum of the flap-wise blade root bending moment for each
controller. The conventional and cascaded IPC controllers both performed better in terms of reducing the blade loads
compared to the baseline CPC case. However, the cascaded IPC architecture achieved a significant further 60% reduction
in 1P blade loads, compared to the conventional IPC controller. In terms of the blade pitch activity, shown in Figures 10c
and 10d, the cascaded IPC architecture used slightly more actuation effort than the conventional IPC, with the standard
deviations of pitch angle and pitch rate being 9% and 16% greater, respectively. This is to be expected given the shaping
of the inner-loop of the cascaded controller, where the bandwidth of the inner loop was not limited by the blade first flap-
wise mode. A conventional IPC controller would of course also demonstrate superior performance if the pitch actuator
was allowed to work harder, but only at the expense of reducing the controller’s robust stability margin. For the same
stability margin, the cascaded controller demonstrates a greater ability to utilise the available performance of the pitch
actuator, owing to the more benign dynamics of the inner loop (12), where the limiting flapwise-modes are not present.
The numerical results from the full 20-minute simulation are summarised in Table VI.
CPC (Baseline) Conventional IPC Cascaded IPC
|M1(ω)| at 1p frequency [kNm] 1218 (100%) 107.8 (9%) 42.3 (3%)
std(θ1(t)) [deg] 1.35 (100%) 1.80 (133%) 1.93 (142%)
std(θ˙1(t)) [degs
−1] 2.30 (100%) 2.80 (122%) 3.17 (138%)
Blade rootM DEL [kNm] 1381 (100%) 766 (55%) 682 (49%)
Table VI. Numerical results obtained from the full 20-minute simulations under a turbulent wind field. The notation | · | denotes
amplitude, whilst std is the standard deviation. Damage equivalent loads (DELs) were computed using the Palmgren-Miner rule
and rain-flow counting algorithm [43, 44], with the material-specific parameter of 10.
4.3.2. Extreme load reductions
Since IPC is particularly designed to attenuate asymmetrical loads on the rotor, an extreme wind shear case was chosen
to demonstrate the performance of the cascaded architecture on an extreme load case of relevance. An extreme wind shear
profile was modelled as follows [2]:
v(z, t) := vhub(t)
(
z
zhub
)0.2
+ vshear(z, t), (14a)
where z ∈ R is the vertical distance from the tower base, zhub = 90 m is the hub height and vhub = 18 ms
−1 is the wind
speed at this height. The additional vertical transient wind shear vshear ∈ R is defined as:
vshear(z, t) :=
(z − zhub
D
)(
2.5 + 0.2βσu
(
D
Λ
)0.25)(
1− cos
(
2πt
T
))
, (14b)
where D = 2R is the diameter of the rotor, β, σu, Λ ∈ R are the turbulence scale parameters [2] and T = 12 s is the
duration of the transient wind shear. Figure 11 shows the correspondingtemporal change in wind speed across the rotor
plane in the vertical section created by (14).
Under the transient extreme wind shear, Figure 12a shows the time history of the blade flap-wise root bending moment.
The cascaded IPC again achieved significant blade load attenuation, compared to the baseline CPC and conventional IPC
designs. Whereas the conventional IPC controller only yielded a 16% attenuation in blade loads, the cascaded design
achieved a much greater reduction. Compared to the conventional IPC, the cascaded controller yielded a blade load
reduction of 59%. Again, this is to be expected owing to the cascaded IPC’s ability to fully utilise the pitch actuator
without compromising the robust stability margin, arising from the fact that the cascaded controller can react more quickly
in response to a measurement with less lag. The pitch activities in Figure 12b and 12c shows the cascaded IPC responding
to wind speed changes much faster than the conventional IPC. The numerical results are summarised in Table VII.
5. CONCLUSIONS
This paper was concerned with significantly improving IPC performance in a simple and pragmatic fashion. The limitations
of conventional IPC controllers arise from the phase-lag associated with the blade dynamics, making it difficult to fully
exploit the available pitch actuation without compromising the stability of the system. Motivated by this, a simple solution
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(a) Time history of the blade flap-wise root bending moment of blade 1.
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(b) Load spectrum of the blade flap-wise root bending moment of blade 1. Note the significant additional load reductions
achieved by the cascaded IPC around the 1P frequency.
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Figure 10. Simulation results upon the NREL 5MW turbine under a turbulent wind field, showing the performance of the baseline CPC
(dotted line), conventional IPC (dash-dot line) and cascaded IPC (solid line). Similar results were obtained for the remaining blades.
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Figure 11. The extreme wind shear event employed in this work. Wind speeds are plotted at the rotor top (solid line), hub-height
(dash-dot line) and rotor bottom (dotted line).
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(a) Time history of the blade flap-wise root bending moment of blade 1.
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(b) Time history of the pitch angle of blade 1.
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Figure 12. Simulation results upon the NREL 5MW turbine under extreme wind shear, showing the performance of the baseline CPC
(dotted line), conventional IPC (dash-dot line) and cascaded IPC (solid line). Similar results were obtained for the remaining blades.
14 Wind Energ. 2013; 00:1–16 c© 2013 John Wiley & Sons, Ltd.
DOI: 10.1002/we
Prepared using weauth.cls
B. Jones Cascaded IPC
CPC (Baseline) Conventional IPC Cascaded IPC
max(|M˜1(t)|) [kNm] 2964 (100%) 2501(84%) 1032 (35%)
max(|θ˜1(t)|) [deg] 0.39 (100%) 1.41(362%) 3.00 (769%)
max(|
˙˜
θ1(t)|) [degs
−1] 0.24 (100%) 1.76 (733%) 3.43 (1429%)
Table VII. Numerical results obtained from the simulations under the extreme wind shear. Mean values were M¯ = 6500 kNm, θ¯ =
8.55◦, and ¯˙θ = 0◦/s.
was proposed to bypass the blade dynamics, based upon an inflow sensor on each blade providing ‘faster’ information
on the local aerodynamic lift force. This measurement enabled the design of an additional cascaded feedback loop that
did not suffer from the limitations imposed by the blade dynamics. As a result, significant performance benefits were
achieved, compared to a conventional IPC controller with the same robust stability margin. Simulation results showed the
cascaded IPC controller achieving a 60% reduction in 1P blade fatigue loads, and a 59% reduction in extreme wind-shear
induced blade loads. It is not clear if an alternative approach to mitigating IPC results using LiDAR would offer superior
performance benefits. However, one important benefit of the cascaded IPC approach over LiDAR is its simplicity. This
arises from the fact that it employs feedback, rather than feedforward control, hence reducing the sensitivity to model
uncertainty. In particular, the use of an inflow sensor eliminates the need for employing accurate models relating upwind
line-of-sight velocity measurements to future blade loads.
Future work may explore the necessary fault-tolerant control aspects of employing pitot-tubes as inflow sensors. The
cascaded IPCmight also be designed for below-rated conditions and also extended to the CPC loop for improved mitigation
of extreme gust-induced loads.
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